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Abstract

In this paper, the behaviour of concrete filled tubular flange girders (CFTFGs) is investigated
through both numerical and analytical modelling. These are new and complex members and
their behaviour is governed by a number of inter-related parameters. This work aims to study
the relative influence of a number of these variables on the flexural behaviour, particularly for
CFTFGs with stiffened webs. A nonlinear three-dimensional finite element (FE) model is
developed in the ABAQUS software and is validated using available experimental data. The
validated model is then employed to conduct parametric studies and investigate the influence
of the most salient parameters. For comparison purposes, and to observe the effect of the
concrete infill, steel tubular flange girders (STFGs) with a hollow flange are also studied. The
finite element models consider the effects of initial geometric imperfections, as well as other
geometrical and material nonlinearities, on the response. In addition, simplified analytical
expressions for the flexural capacity are proposed, and the results are compared to those from
the FE analyses. It is found that CFTFGs and STFGs with the same dimensions have similar
buckling shapes but different buckling loads, with the CFTFG offering greater buckling
resistance. This highlights the influence of the concrete infill which increases the stiffness of
the upper flange, and hence allows the member to carry additional bending moments compared
to STFGs. The proposed analytical expressions, which are suitable for design, are also shown
to be capable of providing an accurate depiction of the behaviour and bending moment
capacity.

1. Introduction

Concrete filled tubular flange girders (CFTFGs) are I-shaped steel beams that use a hollow
structural section as the compression flange which is filled with concrete and a flat plate as the
tension flange. Hollow sections exhibit high torsional and compressive resistance when
compared with open sections. Therefore, employing a tubular flange as the compression flange
in CFTFG, the resulting sections have been shown to offer substantially higher torsional
stiffness compared with conventional steel I-beams of similar depth, width and weight [1]. This
results in increases in the lateral-torsional buckling resistance of these members which, in turn,
leads into a reduction in lateral bracing requirements for CFTFGs. Hence, several researchers
have investigated the use of concrete filled tubular flange girders in structural applications,
such as bridges, car parks and multi-storey buildings.

A number of researchers have investigated the behaviour of hollow flange beams in recent
years including triangular hollow flange beams (THFBs), LiteSteel beams (LSBs) and hollow
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tubular flange plate girders (HTFPGs), as presented in Fig. 1. Pi and Trahair conducted
pioneering studies in to lateral-distortional buckling of triangular hollow flange beams and a
simple expression was proposed to define the effect of web distortion on the flexural strength
of these members under uniform bending [2]. Avery and Mahendran [3] concluded that
including transverse stiffeners on the web of hollow flange beams significantly improves the
lateral buckling flexural strength of the member. LiteSteel beams (LSBs) are a relatively new
structural form, typically made from cold-formed steel in a channel shape but with rectangular
hollow flanges as presented in Fig. 1(b), and these have been studied recently in Australia [4,5].
Hollow tubular flange plate girders (HTFPGs) with a slender web, as shown in Fig. 1(c), have
also been proposed and investigated [6-9]. In these studies, the shear strength of homogeneous
and hybrid HTFPGs was examined, where hybrid girders are sections which use different
materials for the web and flanges, as well as the buckling behaviour of members with slender
stiffened or un-stiffened webs. It was noted that HTFPGs are still sensitive to lateral-
distortional buckling even with the hollow flanges although they can resist much higher critical
loads than conventional I-beams.

For hollow flange plate girders, it has been generally noted that members with a relatively thin
tube thickness are susceptible to local buckling of the compression tubular flange, which limits
the flexural resistance of the cross-section. . To overcome this, concrete filled tubular flange
girders (CFTFGs) have been proposed and investigated by a number of researchers. Early
studies at Lehigh University in the USA tested two 18 m long CFTFGs with a rectangular
concrete filled tube as the compression flange and a flat plate as the tension flange, as depicted
in Fig. 2(a) [10,11]. Kim and Sause [12] studied the performance of CFTFGs with a circular
concrete filled tube as the compression flange rather than a rectangle, as illustrated in Fig. 2(b).
Some of the potential benefits of CFTFGs were summarized, including the provision of more
strength, stiffness, and stability compared with a flat plate flange which uses a similar amount
of steel or a hollow flange, and design formulas for predicting the lateral-torsional buckling
(LTB) strength of CFTFGs were proposed. Other shapes have also been studied including
beams with a pentagonal top flange filled with concrete [13], as shown in Fig. 2(c), and
CFTFGs which are curved along the length [14]. Generally, for the many different
configurations which have been studied, it has been shown that CFTFGs bring numerous
advantages compared with conventional steel girders, particularly for large spanning or heavily
loaded applications, including the ability to minimize the required under-clearance, simplify
erection, and eliminate the need for stiffeners, cross frames or diaphragms.

In this paper, the flexural behaviour of circular concrete filled tubular flange girders (CFTFGs)
and circular steel tubular flange girders (STFGs) is investigated through numerical modelling.
The paper begins with a description of the finite element (FE) model which was validated
against the test data available in the literature [15], following which, parametric studies were
conducted to investigate the effect of key parameters such as the size of the tube diameter
(Dtube), the ratio of Dube to the tube thickness, the thickness of the bottom flange, the web plate
slenderness, the aspect ratio of the web panel and also the material strengths. Based on the
analysis, as well as a fundamental assessment of the behaviour, a series of analytical



Accepted for publication in the Journal of Constructional Steel Research 2018

expressions which are suitable for design are presented and assessed for predicting the bending
capacity of circular CFTFGs.

2. Numerical modelling
2.1. General

The finite element analysis package ABAQUS [16] was employed to examine the ultimate
moment capacity of simply supported CFTFGs, taking into account the geometrical and
material nonlinearities. The numerical models contained an initial geometric imperfection
which was generated by means of the first buckling mode shape of a perfect beam (i.e. perfectly
straight and constant geometry) multiplied by an amplitude factor. For this purpose, an elastic
eigenvalue buckling analysis was first conducted, and then the first buckling mode shape of
the beam with an imperfection amplitude of L/1000, where L is the beam length, was imported
to the nonlinear model as the starting geometry. The global imperfection amplitude was taken
as L/1000 in accordance with the permitted out-of-straightness tolerance in EN 1090-2 [17]
and the AISC [18, 19], and has been used by other researchers in similar studies [e.g. 20, 21].
The implicit dynamic analysis method in ABAQUS was used to solve the geometrically and
materially nonlinear problem, where the load was applied incrementally and the nonlinear
geometry parameter (*NLGEOM, in the ABAQUS) was included to allow for changes in the
geometry under load. This nonlinear dynamic analysis method uses an implicit time integration
scheme to determine the quasi-static response of the system, which was found in the current
study to provide the best convergence behaviour owing to the high energy dissipation
associated with quasi-static applications during certain stages of the loading history.

2.2. Details of validation model

The specimen details incorporated in the validation FE model are based on the circular tubular
flange girder which was examined in the test programme of Wang et al. [15]. Accordingly, the
cross-section is 0.5 m in height and 4.3 m in length, as shown in Figs. 3 and 4. Table 1 presents
the principal dimensions of the tests, namely Duve, tt, hw, tw, bf, tf, and tstiffener which represent
the tube outside diameter, tube thickness, web depth, web thickness, width of the bottom flange,
thickness of the bottom flange and stiffener thickness, respectively. The beam is subjected to
two concentrated loads in the vertical direction on the top surface and the distance between the
loading points is 1 m. There are four stiffeners along the beam length, as shown in Fig. 4, and
each has a thickness of 12 mm. These are located at the supports and loading points in order to
prevent local instability of the web at these locations. Simply supported boundary conditions
in the tests were simulated in the FE model by restraining suitable displacement and rotational
degrees of freedom at the beam ends. The steel section was made from Q235 steel, and the
material properties incorporated in the model are presented in Table 2 including the yield
strength fy, ultimate strength fu, Young’s modulus (E) and Poisson’s ratio [22]. Also included
in the Table 2 are the compressive strength fc and Poisson’s ratio of the concrete.

2.3. Material modelling

2.3.1. Concrete
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The stress-strain relationship of unconfined concrete is shown in Fig. 5, where fc is the
unconfined ultimate cylinder compressive strength of concrete, . is the corresponding strain at
fc which is determined (as a percentage) as given by Eq. (1) in accordance with Eurocode 2
Part 1-1 [23].

g = 0.7(f)%31 < 2.8 (1)

When the concrete filled steel tube is exposed to axial compression, a gap occurs between the
steel tube and the concrete core in the elastic range because Poisson’s ratio for the concrete is
smaller than that of the steel tube. Beyond the elastic range, the inner concrete dilates (strains
transversely) at a higher/faster rate than the steel tube, hence making contact between the steel
tube and the concrete to develop again. As the axial compressive stress increases further,
continued dilation of the concrete core is restricted by the steel tube, generating a variable
confining pressure in the concrete in the transverse direction. This confining pressure
effectively increases the compressive strength of the concrete core. In a CFTFG, the concrete
is confined by the circular steel tube section, which results in increased ductility and strength
of the concrete core, compared to unconfined concrete.

In the current study, the stress-strain response of confined concrete proposed by Hu et al. [24]
is adopted in the numerical simulations. This approach has been adopted by other researchers
for the simulation of concrete filled tubular columns which are eccentrically loaded, leading to
non-uniform confining pressure, as occurs in the current scenario [25, 26]. Typical uniaxial
stress—strain curves of unconfined concrete is shown in Fig. 5, where fcc and ecc are the uniaxial
compressive strength and the corresponding strain of confined concrete, respectively. Mander
et al. [27] proposed relationships between confined and unconfined concrete strength and strain
values, as given by Eq. (2) and (3), respectively.

foo = f. + kyfl (2)

eee = e (14 ko) 3)

Values of 4.1 and 20.5 are used for k; and k,, respectively, based on the study of Richart et al.
[28]. The term ‘fl” denotes the confining pressure in the concrete, which is determined in the
current study based on the empirical relationships presented in Eqs (4) and (5) proposed in
[24].

fl/f, = 0.043646 — 0.000832(Dype/tr) for 21.7 < Dyype/te < 47 4)
fl/f, = 0.006241 — 0.000357(D¢ype/te) for 47 < Dyype/t: < 150 (5)

The stress-strain curve of confined concrete, as presented in Fig. 5, consists of three parts.
Initially, it is assumed that the confined concrete responds linearly, obeying Hooke’s law, and
this continues up to around 40% of compressive strength in the ascending branch [23,29].
During this phase of the response, the behaviour of confined and unconfined concrete is
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identical, as shown in Fig. 5. The initial Young's modulus (in GPa) can be estimated with
reasonable accuracy from the empirical formulation provided in Eurocode 2 [23] given in Eq.

(6).
E. = 22 x (f./10)°3 (6)

The second part of the stress-strain curve defines the nonlinear behaviour before the concrete
reaches its maximum strength, starting from the proportional limit (0.4fc) to the maximum
confined concrete strength fecc. The relationship of concrete stress oc and strain ¢ in this part of
the response was proposed by Saenz [30], and is as described by Eq. (7)-(9)

Ecce

o,. =
o ReRp-2)(2)-R-D() +R(E)] (7)

where:

Rg = Eeefec and (8)

fec
_ Rg(Rg—-1) 1

R="gmm? & ®)

where Re and Rs were both assumed to be 4.0, in accordance with the recommendations in
[31].

The third and last part of the curve is the descending branch which begins at the maximum
confined concrete strength fec and decreases linearly until a stress of fcu is reached at a
corresponding strain of €cu, which are determined as given in Eqs (10) and (11), respectively.

fc,u == I‘k3fcc (10)

(11)

Ecu = 11&cc

where the value of the parameter ks for concrete filled circular steel tubes is calculated using
Eq. (12), based on the recommendations presented in [24].

k3 == 1 fOI‘ 217 S Dtube/tt S 4‘0

2
ks = 0.0000339 (222)" — 0.010085 (£22¢) + 1.3491 for 40 < (12)

te te

As a result of the experimental studies carried out by Giakoumelis and Lam in 2004 [32], it
was proposed in [33,34] that the parameter r may be taken as 1.0 for concrete with cube
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strength of 30 MPa and 0.5 for concrete with a cube strength of 100 MPa and linear
interpolation can be used for intermediate values.

In the ABAQUS FE model, the concrete infill is represented using 8-noded brick elements with
reduced integration, known as C3D8R in the ABAQUS library. The concrete damaged
plasticity (CDP) model is employed for modelling the constitutive behaviour of the concrete,
based on the relationships described before. The model assumes that the infilled concrete fails
either in compression, through crushing, or tension, through cracking. In addition to the
compressive and tensile constitutive relationships, a number of other parameters are required
in the CDP model, including the dilation angle, flow potential eccentricity and viscosity
parameter which are assigned values of 36°, 0.1, and 0, respectively, as used by other
researchers [35]. The ratio of the strength in the biaxial state to the strength in the uniaxial state,
fho/fe, is taken as 1.16 whilst the ratio of the second stress invariant on the tensile meridian (K)
is given a value of 0.667 in the present analysis.

In addition, the compressive damage parameter dc needs to be defined at each inelastic strain
level. It ranges from zero, for undamaged material, to unity, when the material can no longer
sustain any load. The value for dc is found only for the descending branch of the stress-strain
curve of concrete in compression, as given by Eqs (13) and (14).

d.=0 when g, < g, (13)

fec—oc

d. = when g, = g, (14)

fCC

In this study, it was assumed that after the tensile strength of concrete fi at corresponding strain
of &cr has been reached, the tensile strength decreases linearly to reach zero stress at a total
tensile strain at the end €end of 0.01, as shown in Fig. 6. The tensile strength of concrete ft,
according to Eurocode 2 [23], is taken from Eqs (15) and (16).

f. = 0.3f,%/3 for f. <50 N/mm (15)
f,=2.121In(1 + 0.1f.) for f.>50N/mm? (16)

Similar to the simulation of concrete in compression in the CDP model, the tensile damage
parameter di, which is valid only in the descending branch of the stress-strain curve for concrete
in tension, is defined at each increment of cracking strain, as described by Eqs (17) and (18).
follows:

di=0 for & <eégq
(17)

(18)

fi—o
dt = % fOI‘ Et 2 SCI‘
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2.3.2. Steel

The steel employed in the tested beam which is used later for validation is Q235 steel with
nominal yield stress and ultimate tensile stress of 287.9 and 430.2 MPa, respectively [22]. An
idealised tri-linear stress—strain relationship is assumed to model the steel material in the FE
model, as shown in Fig. 7, where fy and &y are the yield stress and strain, respectively, &st is the
strain at the onset of strain hardening and fu and &u are the ultimate tensile stress and strain at
ultimate tensile stress, respectively. The key values used in the model are presented in Table 2.
The strain at the onset of strain hardening &st and the strain at the ultimate tensile stress eu are
taken as 0.025 and 0.2, respectively [36]. The engineering stress—strain (Geng-€eng) curve is
converted to true stress—strain (Girue-€true) curve for the ABAQUS model using Eqgs (19) and
(20), respectively.

€rue = IN(1 + €eng) (18)
Otrue = 0_eng(l + Seng) (20)

The top tubular flange, web, bottom flange and stiffeners are all modelled using the four-noded,
three-dimensional shell element with reduced integration (S4R in the ABAQUS library). The
S4R element has six active degrees of freedom per node, including three displacements and
three rotations. The reduced integration enables more efficient computation without
compromising the accuracy of the results. A tie contact is defined between the surface of the
steel section and the edges of the stiffeners. Following a mesh sensitivity study, it has been
found that an element size of 30x30 mm provides the best combination of accuracy and
computational efficiency and therefore is applied to all elements in the model. The finite
element mesh of a typical specimen is presented in Fig. 8(a).

2.4. Support and loading conditions

The geometry and loading conditions of the beam are symmetrical about the mid-span and
therefore only half the girder length is modelled. Accordingly, one end section of the beam
model has simply supported boundary conditions whilst the other end has symmetrical
boundary conditions, as shown in Fig. 8(b), in which ux, uy, uz, 6x, 0y, and 0. are the
displacements and the rotations about the global x, y and z axes, respectively. The y-z plane is
considered to be in-plane whilst the x-z and x-y planes are out-of-plane, in the current study.
At the end of the beam (i.e. at the support), the vertical uy and lateral displacements ux of all
nodes along the y-axis (i.e., when x = 0), and the twist rotations about z and y-axes (6. and 60y)
are restrained against movement and therefore assigned values equal to zero. At the middle of
the beam, the longitudinal displacements u. and rotations about the x and y-axes (6x and 0y) are
also restrained against all movement. The loading is applied to the top surface of the beam in
displacement control through two concentrated loads along the full length or one loading point
when half the span is considered.
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2.5. Validation of the load-displacement response

To assess the accuracy of the load-displacement response generated by the FE model, the test
conducted by Wang et al. [15] was simulated as described in previous sections. This is the only
test which has been done on concrete filled tubular flange girders with a circular top flange, to
date, in the public domain. The load-displacement response of the CFTFG from both the FE
model and the experimental programme is presented in Fig. 9. The ultimate load and ultimate
moment obtained from the FE analyses — Pure and MuyrE, respectively are compared with the
test ultimate load and ultimate moment — Puexp and MuExp, respectively in Table 3. From Fig.
9, it is clear that the FE model is capable of providing a good representation of the general
response and also offers an excellent prediction of the ultimate load and moment of the CFTFG.
Residual stresses are not incorporated in the FE model as it has been shown that they can be
neglected for short unbraced members which are less than 20 m in length [37].

In terms of the general behaviour, and with reference to Fig. 9, it can be observed that the
response predicted by the FE model is divided into four phases. Firstly, below a load of around
400 kN, there is a linear relationship between load and displacement in the elastic phase, and
the response is very well predicted by the model in this range. Secondly, when the load reaches
500-600 kN, the behaviour becomes nonlinear. With the expansion of the yielded region from
the bottom flange to the middle of the steel section, the flexural rigidity decreases and the stress
redistributes. In this elastic-plastic stage, there are some disparities between the experimental
and numerical curves and the model somewhat over-predicts the capacity of the beam. This
difference is likely to be due to a combination of factors which affect deformations, such as the
idealisation of the material nonlinearity in the FE model as well as the likelihood of initial
imperfections in the real structure. In the third phase, when loading exceeds 600 kN, the
displacement increases rapidly as plasticity spreads in the middle region of the beam. Finally,
in the fourth phase when the load reaches around 720 kN, the response plateaus as the
displacement continues to increase with very little change in the load. The failure mode
observed in both the FE model and the experiment, is a combination of steel yielding and
torsional buckling. Overall, the simulated load-deformation curves reflect the experimental
behaviour very well. Although there is only one experiment available for validation which is
not ideal, it is concluded that the FE model is capable of predicting the behaviour and strength
of that member and is suitable for conducting further parametric studies on CFTFGs under
bending.

3. Analytical model for flexural strength

In this section, a series of analytical expressions for predicting the bending capacity of circular
CFTFGs are developed which can be used both for analysis and design of these members. The
approach is based on plastic theory in which the position of the plastic neutral axis and the
plastic bending moment capacity can be identified by applying the equilibrium of internal
forces equations to the cross-section. An equivalent rectangular and triangular stress block is
assumed for the concrete (as shown in Fig. 10 and discussed hereafter) and the steel is assumed
to behave in an elastic-perfectly plastic manner. The confining effect provided by the steel tube
on the concrete infill is considered in the analytical model.
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3.1. Location of the plastic neutral axis

In order to determine the bending capacity of the section, it is first necessary to determine the
location of the plastic neutral axis (PNA). Two cases are considered in this study. Case 1
assumes that the PNA is in the web of the steel section, as shown in Fig. 10, while Case 2
assumes that the PNA is in the tubular flange, as demonstrated in Fig. 11. With reference to
these figures, and in order to determine the exact location of the PNA, the following
assumptions are adopted:

e If the PNA is within the concrete filled portion of the section, it is assumed the
concrete below the plastic neutral axis does not contribute to the tension capacity.

e By assuming x0=0 and yo=yi-R, the coordinate (xo, yo) is the centre of the circular
tube, where R is the outer radios of the steel tube.

e The term y2, which is the vertical height of the triangular stress block is determined by

interpolating the strain distribution across the cross-section, given by:
€ > €
ﬁzy_z = Y2 =£—CyC(Y1—tt)-
e In the triangular stress block, where the steel is behaving in an elastic manner (i.e. fs =
&sE, where fs and &5 are the stress and strain in the steel section, respectively, and E is
the elastic modulus) interpolation can be applied to establish that, at any location y in
this region, the stress in the steel is determined as:

yf;
f=2¥
Y2

As shown in Figs. 10 and 11, yi1 is the distance from the top of the cross section to the PNA.
For Case 1, y1 > Dube (Where Duve is the outer diameter of the steel tube), and therefore the
PNA is within the steel web. On the other hand, for Case 2, y1 < Dube, and the PNA is within
the concrete filled tube infilled concrete. Both cases are considered hereafter.

Case 1: PNA in the web of the steel section (y1 > Diube)

In the compression zone, the forces can be divided into three regions, as shown in Fig. 10,
represented by Fci, which is the maximum compressive force in the concrete infill, Fc2, which
is the compressive force in the steel tube and Fc3, which is the compressive force in the
compressive region of the web. Each of these forces can be determined using Eqs. 21-23,
respectively, where oc is the stress in the confined concrete obtained using Eq. 6 and r is the
inner radius of the steel tube:

Fo =20 JrZ—(y—yo)? Xo.dy 1)

Y1~ Dtube+tt
—t
Foo = 2[ [ VRZ = (7 = y0)? — /T2 = (7 — y0)? X fydy +
y y
Lo VR = =y x fydy + [ JRE— (v —yo)? - (22)

—Diype+t
7= = yo)? X fudy + [ R = (y = y)? x fidy|

—Dtube
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fy(yl_Dtube)

1
Fe3 = Etw(Y1 - Dtube) X Va

(23)

In the tension zone, below the PNA, the total force in the web in tension, Fu, is determined as:

1
Fy = Etwyzfy +ty X (h—y; —y, —t) Xf; (24)

On the other hand, the tensile force in the bottom flange is calculated as:

Fi, = bytefy (25)

Case 2: PNA is in the tubular flange (v1 < Duube)

In this case, the total compressive force comprises two components, namely, Fc1, which is the
force in the infilled concrete above the PNA and Fc2, which is force in the steel tube above the
PNA. These are determined from Eqs. 26 and 27, respectively:

Foo =2 [ 1= (y — yo)2 X o dy (26)
Feo = 2% | [ RE= (= yo)2 =12 = (y — yo)? X fydy +

Jy VRE = (7 —yo)? x fydy + [* VRZ = (v = y9)? = /12 = (y = y)? X (27)
fydy |

Below the PNA, there are three components to the total tensile force in the section. As can be
seen in Fig. 11, y1 bisects the steel tube, and the tensile force in the steel tube below the PNA
(Fu) is calculated as:

0
Fy = 2 X [f_(])tube_tt_yl)\/R2 —(y—yo)2 —r? — (y —yo)? X fdy +

—~(Dtube—tt—
LDy D JRZ = (y — yo)? X fsdy]

(28)

Eq. 29 is used to calculate the tensile force for both the triangular and rectangular plastic stress
distribution block areas of the steel web, below the PNA, as illustrated in Fig. 11:

—Dtube
Ft2=f_y;2 fub thfsdy +(h_Y1_YZ_tf)thXfy (29)
Finally, the tensile force in the bottom flange is:

For both Case 1 and Case 2, Fi (i=1, 2, 3,..., etc.) is any compressive force which exists above
the PNA and Fi (i=1, 2, 3,..., etc.) is any tensile force which exists below the PNA. C and T
are the total compression and tension forces in the CFTFG, determined from:

C=YF,and (31)

T=XFy (32)

10
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In order to maintain equilibrium, the total compressive force (C) must equal the total tensile
force (T) in the cross-section.

3.2. Ultimate moment capacity

For both cases described in the previous section, the ultimate bending capacity (Mu) for a
CFTFG can be derived based on equilibrium of internal forces in the cross-section, as given in
Eq. 33:

M,= XM, +3M,; (i=1,2,3... etc) (44)

The moment generated by the compressive and tensile forces (M. and M, respectively) are
found using Eqgs. 34 and 35 for Case 1:

Me=2x [0 | 7= —yo)? x o xydy + [ R = (y —yo)? —

Y1—Dtubettt

V12— —yo)? x fy xydy + [ RZ = (v —yo)? x fy x ydy +

(34)
y
S bty VRZ = 7 = ¥0)2 =12 = (v = y0)? X fs X ydy +
Y1—Dtubettt 2 _ — 2
[ ettt JRE = (y = yo)? X f, X ydy|
h—y1-y,—t
M, = %twyzfy X §y2 +ty X (h—y; —y, —tp) X f, X % + bytef, X (h — 55
_

yi—5

For Case 2, Eqgs. 36 and 37 represent the moments above (Mc) and below (M) the PNA:
—t -t

Me=2x [ = = yo)2 x oc x ydy + [ /RE = (y = yo)? -

Vr2 =y —yo)? x fy x ydy + [J' /R? = (v —yo)? x fy X ydy + (36)

IR = (7= yo)2 =17 = (7 = y0)% X f, X ydy|

0
M, = 2 X [f_(Dtube_tt_yl) VRZ = (y —y0)® = {r? = (v — yo)? X fiydy +

_(Dtube_tt_Y1) _ — Y1~ Dtube _ _ 37
—(Dtube—Y1) \/RZ (y —yo)? X fs x ydy] + f‘Yz tw X fs Xydy + (h—y, (37)

V2 —t) Xty X fy X ((h—y; —y, —tp)

In order to check the validity of the proposed theoretical equations, Table 3 presents a
comparison between the calculated ultimate moment capacity (Mucac) and both the
experimental value (Mugxp) [15] and the FE prediction using the model described previously
(Muyre). For this beam, the PNA is found to be in the tubular part of the section and therefore
the Case 2 formulations are used. The results show that the term yi1, which is the distance from
the top of the steel beam to the PNA, is equal to 155.9 mm. It is clear from the table that the
analytical expressions provide a good prediction of the moment capacity for this CFTFG. The
ratio of My to Muexp is 1.006 whereas the equivalent comparison of Mure and Muy,calc yields
a ratio 0 0.992.

11
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4. Parametric study

As previously stated, the experimental data available for CFTFGs is limited to a single test
[15], mainly owing to the expense associated with large-scale experiments as well as the
novelty of these types of structural section. Therefore, a detailed analysis of the behaviour and
performance criteria requires the use of numerical and/or analytical tools. In this section, the
finite element model and analytical approach previously described are employed to investigate
the ultimate behaviour of CFTFGs and the influence of the most salient parameters on their
performance.

A number of parameters are investigated in the parametric study including geometrical and
material details. In addition, FE models for steel tubular flange girders (STFGs) are generated
in order to study the influence of the concrete infill on the behaviour. For CFTFGs, buckling
takes place in the lateral-torsional mode as the web becomes stiffened transversally at the mid-
span location, causing lateral buckling to dominate, rather than the web distortions; Fig. 12
shows the buckling mode of the tested girders. A total of 88 different arrangements are
considered in this study, as presented in Tables 4-7. For clarity, in the current section, the results
are presented in two general categories: (i) members with different tube diameters (Table 4 and
5 for CFTFGs and STFGs, respectively) and (ii) beams with various tube thicknesses (Table 6
for CFTFGs and Table 7 for STFGs). In all cases, the webs of the girders are transversally
stiffened with double-sided flat plate stiffeners which are 12 mm in thickness and located at
the support and loading locations. The distance between the two intermediate stiffeners in the
girder (a) is 1500 mm. All modelled beams had a length of 4300 mm. All specimens listed in
Tables 4 and 6 contain concrete infill with a compressive strength of 38.6 MPa. In addition,
combined yielding and torsional buckling is the failure mode for all models. This type of failure
is common for these types of girders [20,21].

In the specimens listed in Tables 4 and 5, models with five different tube diameters (Dtube =
180, 200, 210, 219 and 300 mm) are considered. For each model, two web heights (hw = 267
and 500 mm), giving two different panel aspect ratios (a/hw = 5.62 and 3) and two flange
thicknesses (tr = 14 and 28 mm) are considered. The tube and web thicknesses are kept fixed
at 8 mm and 6 mm, respectively.

In the specimens listed in Tables 6 and 7, models with three different tube thicknesses (t: = 5,
8 and 10 mm) are considered. For each model, two different web heights (hw = 267 and 500
mm) and two different web thicknesses (tw = 6 and 10 mm), giving two different panel aspect
ratios (a/hw = 5.62 and 3) and four different web slenderness values (4,, or hw/tw = 44.5, 26.7,
83.3 and 50), and two flange thicknesses (tr= 14 and 28 mm) are considered. The tube diameter
is kept fixed at 219 mm.

The ultimate moments determined using the FE model Myre and the analytical expressions
Mucale are presented in Tables 4-7, together with the location of PNA measured from the top
of the section (y1). The results generally show that each pair of CFTFGs and STFGs (i.e.
identical properties apart from the inclusion of concrete) has similar buckling shapes but the
buckling load of the CFTFGs is higher than that of the corresponding STFGs. For example, the
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buckling loads of GR13 and GR33, which are a CFTFG and STFG, respectively, are 540.2
kNm and 391.2 kNm. This equates to a 38% increase in capacity due to the presence of concrete
in the tube, which increases the strength and stiffness of the upper flange and hence allows the
concrete filled section to carry additional loads.

On the other hand, as expected, girders with a relatively small web panel aspect ratio
demonstrate significantly greater ultimate moment capacities compared with members with
higher a/hw ratios. From Tables 4 and 5, it is seen that the ultimate moment of GR15 is 842.5
kNm while for GR35 it is 650.8 kNm. These girders are identical to GR13 and GR33 previously
discussed except that GR15 and GR35 have a web panel aspect ratio of 3 whereas GR13 and
GR33 have an equivalent value of 5.62. The ultimate moment capacity is 56% greater for GR15
relative to GR13 whereas the same increase is 66% for GR35 compared with GR33. This
demonstrates that irrespective of the presence of concrete, the aspect ratio of the web panel is
highly influential to the load-bearing capacity of the girder.

In the following sub-sections, the load-deflection and failure behaviour of both CFTFGs and
STFGs with different key parameters are presented and discussed in detail. Typically, each
parameter is varied in isolation while the others are kept constant in order to study the effect of
this term.

4.1. Effect of specimen geometry

In this section, the effect of a number of the most salient individual geometric properties such
as tube diameter (Duwbe), tube thickness (1) and tension flange thickness (tr) are studied. Firstly,
the influence of the diameter of the tubular flange (Duwbe) is investigated by varying this
dimension between 180 and 300 mm, while the thickness of the tube remains fixed at 8 mm.
The moment-deflection results are presented in Fig. 13 for (a) CFTFGs and (b) STFGs, and it
is evident that in both cases, increasing the diameter of the tubular flange raises the ultimate
flexural strength of the girder. This is more significant for the concrete filled members
compared with the bare steel sections owing to the increased strength and stiffness resulting
from the concrete infill. There is some difference in the general shape of the curves presented
in Fig. 13 with the concrete filled members showing a more rounded moment-deflection
response with no softening whilst the STFGs demonstrate a descending branch after the peak
moment has been reached, particularly for GR37. This is attributed to the fact that the concrete
filled members do not experience local buckling even at high levels of deflection, due to the
confinement effect provided by the concrete core. It is noteworthy that all of the sections in the
current study were examined for local buckling using the requirement described in the
AASHTO design specifications [38], and given as:

Dtube E
Tt < 2.8\[—y (38)

Eq. 38 was originally developed based on an unfilled tube although the AASHTO specification
recommends using the expression for concrete filled tubes also.
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Fig. 14 presents the moment-deflection responses for (a) CFTFGs and (b) STFGs with different
Dube/tt ratios and it is observed that decreasing the tube diameter to thickness ratio, by either
reducing Duve or increasing t:, has the effect of increasing the moment capacity of the girders
for both concrete filled and bare steel members. For the STFGs, this is expected as a lower
Duube/tt ratio corresponds to a stockier compression flange, which is less susceptible to local
buckling, and does not limit the cross-section flexural resistance of the compression flange.
This effect is less prominent for the CFTFGs, as the confinement effect offered by the concrete
infill has a greater effect in improving the local buckling resistance of the compression flange
tube of all Duwbe/tt ratios. The ratio limits depend on the AASHTO design specifications [38],
as given in Eq. 38.

In order to investigate the effect of plate thickness in the tension region of the cross-section on
the behaviour, two different thicknesses of the bottom flange tr are studied. The moment-
deflection curves presented in Fig. 15 verify that, as expected, increasing the tensile flange
thickness raises the ultimate moment capacity of the section. From a cost perspective (both
materials and fabrication), it is important to consider whether the increased volume of steel
required in GR64 compared to GR63, for example, is translated into improved moment
capacity. These two beams have an ultimate moment capacity of around 1413.2 kNm and
1069.4 kNm, respectively, and a gross cross-sectional area (steel only) of 11901 and
9801 mm?, respectively. Therefore, a 21% increase in steel volume can result in a 32%
improvement in bending moment capacity, for the same stiffener arrangement. This effect is
again examined in this section taking into account the web depth (hw), which is a key parameter
to consider in the design of plate girders. Clearly, decreasing the web depth (hw) reduces the
volume of steel in the section as well as the fabrication costs as less welding is required and
the associated risk of weld distortion is lowered. However, it also reduces the bending moment
capacity. Therefore, this discussion highlights the importance of a careful consideration of all
factors (capacity requirements, flange depth, web depth, welding needs, etc.) when designing
a CFTFG.

4.2. Effect of web panel aspect ratio

As previously observed in Tables 4-7, decreasing the aspect ratio of the web panels (a/hw) for
the same girder geometries leads to an increase in the ultimate moment capacity of the tubular
flange girders. The ultimate moment-deflection curves for GR13 and GR15 are presented in
Fig. 16 to illustrate the difference in their general behaviour. After the linear elastic stage, and
until reaching the full strength of the girders, the girder with the higher web panel aspect ratio
reaches the inelastic stress stage at a lower deflection relative to GR15 and also achieves a
significantly higher moment capacity. This is attributed to the fact that GR13 (with the lower
a/hw ratio of these two beams) possesses a larger buckling resistance and also greater web
stiffness, compared with GR15.

Fig. 17 presents the variation of Mu,re/Mu,calc for different subgroups of CFTFGs and STFGs.
Each subgroup represents girders with the same length and tube diameter, but other parameters
such as hw, trand a/hw are varied. The results indicate the accuracy of the analytical expressions
in predicting the ultimate moment as, in all cases, the Mure/Mu,calc ratio is between 0.95 and
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1.0. Moreover, the figures show that Mu,re and My,calc consistently become closer for members
with a relatively large tube diameter and also a lower a/hw ratio thus indicating the analytical
expressions are most accurate in these cases. On the other hand, it can be seen that for both
CFTFGs and STFGs, increasing the bottom flange thickness tr results in the Mu,re/Muy,cale ratio
becoming closer to unity for all girders, irrespective of the web panel aspect ratio.

4.3. Effect of web plate slenderness

The effect of the web plate slenderness, that is the hw/tw ratio, is discussed herein. Fig. 18
displays the ultimate moment versus deflection response for (a) CFTFGs and (b) STFGs, for
different web slenderness values. From the figures, together with the data presented in Tables
6 and 7, it is observed that increasing the web thickness (thereby reducing the hw/tw ratio)
increases the moment capacity of the CFTFGs and STFGs, as expected, owing to the increased
stiffness of the web plate. This is more pronounced in the concrete filled members (Fig. 18(a))
compared with the bare steel flange girders (Fig. 18(b)). For example, the ultimate moment of
GRS5S5 (hw/tw=83.3) is 842.5 kNm whereas the same value for GR61, which is identical apart
from the thickness of the web plate (hw/tw=50), is 1035.3 kNm. Thus, the increase in web
thickness and hence reduction in web plate slenderness for concrete filled members, results in
an improved moment capacity of almost 23%. The variation in web thickness from 6 mm to
10 mm increases the cross-sectional area of the section by around 17% (6404 mm? for GR55
to 7472 mm? for GR 61).

On the other hand, the same values for GR79 and GR85, which are identical to GR55 and GR61
apart from the absence of a concrete infill, are 650.8 and 722.3 kN, respectively, which
represents an increase of only 11% for the same variation in web thickness, although the
increase in steel volume remains at 17%. For the bare steel sections, although having a thicker
web does increase the moment capacity of the section, this is limited to an 11% improvement
as failure is likely to be affected by buckling in the top flange before any more capacity can be
achieved. However, for the concrete filled members, buckling is extremely unlikely in the top
flange owing to the stiffness provided by the concrete core, and therefore the increase in web
thickness results in a much more significant improvement in the moment capacity. This
illustrates the effect of the concrete infill in terms of overall behaviour and the stiffness
provided can be more favourable even than increasing the amount of steel in the section.

4.4. Concrete compressive strength

The effect of concrete compressive strength on the response is investigated herein by
considering different fc values ranging from 20 to 70 MPa for specimen GR13, as presented in
Table 8. The ultimate moment-displacement responses for these members are shown in Fig.
19. It can be seen that the value of fc has a very slight effect on the capacity of the CFTFGs,
which could be ignored. As expected, the moment capacity increases with greater concrete
strengths and the PNA is located at a higher position in the cross-section. From the figure, it is
observed that the concrete strength does not have a strong effect on the member rigidity during
the elastic stage, where behaviour is controlled by the stiffness rather than strength. From the
ratio of MurE to Mu,calc, as presented in Table 8, it is clear that the analytical model provides a
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more accurate prediction of the moment capacity for relatively low values of fc, which is
expected owing to the diminished contribution made be the concrete in this case. Overall, it
can be concluded that the increased strength of the CFTFGs compared to that of the STFGs is
attributed to the availability of a rigid medium in the upper flange rather than the concrete
strength, within the range examined herein. Accordingly, it is not necessary to include the
compressive strength of the infill concrete in the design strength of the CFTFGs.

4.5. Steel strength

Fig. 20 presents the moment-displacement curves for the GR13 CFTFG but with different yield
strengths of steel fy. The details are also presented in Table 8, where it is seen that fy was varied
between 235 to 690 N/mm?. Fig. 20 illustrates that the ultimate bending capacity is proportional
to the yield strength of steel, as expected. Also, the steel strength makes almost no contribution
to the stiffness of the member in the elastic stage, which is again expected as the Young’s
modulus value remains constant. The influence of steel strength on the My,re/Muy,calc ratio is
also provided in Table 8 and it can be seen that the members with higher steel strength also
give greater Mu,re/Mu,calc ratios, thus indicating that the analytical model captures the behaviour
of these members particularly well.

5. Conclusions

This paper has presented a detailed investigation in the behaviour of concrete filled tubular
flange girders (CFTFGs) under bending. In the absence of significant experimental testing in
the literature, a finite element model was developed using the ABAQUS software [16] to study
the response and also the relative influence of the most salient parameters. The accuracy of the
FE models was initially assessed using the experimental results of Wang et al. [15], who
conducted the only test on these members in the public domain, and it was shown that the
proposed FE model is able to provide a very good prediction of the general behaviour and the
ultimate capacity. In addition to the numerical model, an analytical model was also developed
and discussed, which predicts the bending capacity of these members based on a plastic
analysis approach. The analytical approach was validated using both the experimental data
available as well as the FE model.

Thereafter, parametric studies were conducted to study the relative influence of several key
parameters including the size of the tube diameter (Drbe), the ratio of Duvbe to the tube thickness,
the thickness of the bottom flange, the web plate slenderness, the aspect ratio of the web panel
and also the material strengths. Ultimate moment versus vertical deflection curves and failure
modes were obtained from the analyses. For comparison purposes, steel tubular flange girders
(STFGs) were also assessed. Based on this parametric study, the following conclusions can be
made:

1. Each pair of CFTFGs and STFGs with identical properties apart from the presence of
concrete were found to have similar buckling shapes with the buckling load of the
CFTFGs being higher than that of the corresponding STFGs. This highlights the
influence of the infill concrete which increases the stiffness of the upper flange, and
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hence allows the section to carry additional ultimate moment capacity compared to the
STFGs.

2. The flexural strengths predicted using the proposed analytical expressions were shown
to give an accurate, yet conservative, depiction of the capacity for both CFTFGs and
STFGs.

3. Interms of the geometrical details, it was shown that increasing the bottom flange depth
(tr) or the thickness of the tubular section (tt) is advantageous both in terms of moment
capacity achieved and also the material costs. This is because the increase in moment
capacity achieved is disproportionately large, compared with the increase in the cross-
sectional area.

4. It was clearly demonstrated that decreasing the aspect ratio of the web panel (a/hw)
results in an increase in the flexural strength of the girders. Such an increase is more
pronounced for CFTFGs compared to STFGs.

5. The concrete compressive strength (f.) was shown to have almost no effect on the
strength and behaviour of CFTFGs. Hence, the improved strength of CFTFGs
compared to that of equivalent STFGs is attributed to the availability of a rigid concrete
medium in the tubular flange. On the other hand, the yield strength of the steel does
contribute to the ultimate bending capacity of the girders.

6. Finally, based on the absence of specific flexural design formulae for the CFTFGs in
Eurocode 4 [39], a design model providing suitable ultimate moment capacity values
predictions for CFTFGs has been presented. This model is based on a fundamental
assessment of the behaviour, capturing the relative influence of important material and
geometric parameters and has been shown to provide an accurate prediction of the load
bearing capacity of CFTFGs.
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Table 1 Dimensions of the CFTFG cross-section

Dtube t¢ hw tw bf tr Lstiffener
(mm) (mm) (mm) (mm) (mm) (mm) (mm)
219 8 267 6 150 14 12
Table 2 Details of the material properties
Steel [20] Concrete [22]
Yield stress, | Ultimate stress, Young’s . , Compressive cylinder . ,
Poisson’s Poisson’s
fy fu modulus, E ratio strength of concrete, f. ratio
(N/mm?) (N/mm?) (N/mm?) (MPa)
287.9 430.2 195000 0.28 38.6 0.20
Table 3 Comparisons of numerical, experimental and analytical ultimate strengths
Pu7EXP Mu,Exp PU:FE Mu,FE Mu,FE/ IOC;)tII\i;:I Mu,Calc Mu,FE/ Mu,Exp/
(N) | (Nm) | (N) | (Nm) | Mgy |0 Yl (kNm) | Mucae | Muca
716.0 537.0 720.2 540.2 1.006 155.9 544.6 0.992 0.986
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Table 4 Details of CFTFGs with different tube diameters

Geometric details
PNA
CFTFG Specimen Mure | Mucae | location, | My re/
Group p L Duve | hw a/hy | (kNm) | (kNm) Vi M. cale
(mm) | (mm) | (mm) (mm) (mm)

GR1 14 439.7 | 4543 137.1 0.968

267 | 5.62
Gl GR2 180 28 650.5 | 667.2 1524 | 0.975
GR3 500 3 14 744.0 | 758.4 146.7 | 0.981
GR4 28 | 1010.8 | 1023.7 | 166.3 0.987
GRS 14 482.1 | 494.6 146.8 0.975

267 | 5.62
G2 GR6 200 28 703.1 | 717.2 160.9 | 0.980
GR7 500 3 14 793.5 | 805.4 155.8 0.985
GRS 28 | 10629 [ 1073.5 | 172.6 | 0.990
GR9 14 504.1 | 513.6 151.6 | 0.981

267 | 5.62
GR10 28 729.9 | 738.1 1652 | 0.989

G3 4300 | 210

GR11 500 3 14 818.8 | 824.5 160.4 | 0.993
GR12 28 | 1089.5 [ 10949 | 176.3 0.995
GR13 14 540.2 | 544.6 1559 | 0.992

267 | 5.62
G4 GR14 219 28 7549 | 760.3 169.2 | 0.993
GR15 500 3 14 842.5 | 8459 1644 | 0.996
GR16 28 [ 1117.1 | 11212 | 179.7 | 0.996
GR17 14 730.3 | 735.8 189.7 | 0.992

267 | 5.62
G5 GR18 300 28 | 1002.4 [ 1008.7 [ 202.2 | 0.994
GR19 500 3 14 ]1079.3 | 10824 197.8 0.997
GR20 28 | 1366.0 [ 1363.7 | 211.4 | 0.999
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Table 5 Details of STFGs with different tube diameters

Geometric details
PNA
STFG Specimen My rE M, calc | location, Mu,FE/
Gr oup p L Duube hy a/hy, tr (kNrn) (kNH’l) Yi My calc
(mm) [ (mm) | (mm) (mm) (mm)
GR21 14 3429 | 357.7 157.6 0.959
GR22 267 1 562 28 490.1 505.3 303.3 0.970
G6 180 i . - .
GR23 500 3 14 6159 | 6294 244.8 0.979
GR24 28 806.4 | 815.5 419.8 0.989
GR25 14 348.4 | 361.1 151.8 0.965
267 | 5.62
G GR26 200 28 4994 | 513.0 281.4 0.973
GR27 500 3 14 613.3 | 625.7 222.9 0.980
GR28 28 833.0 | 840.8 3979 0.991
GR29 14 379.5 | 392.2 146.8 0.968
267 | 5.62
GR30 28 5489 | 562.7 270.3 0.976
G8 4300 { 210
GR31 500 3 14 633.1 645.2 211.9 0.981
GR32 28 8752 | 882.6 386.8 0.992
GR33 14 391.2 | 400.8 140.0 0.976
267 | 5.62
G9 GR34 219 28 569.0 | 580.7 260.6 0.980
GR35 500 3 14 650.8 | 6634 202.1 0.981
GR36 28 905.8 | 911.1 377.1 0.994
GR37 14 492.8 | 498.8 114.8 0.988
267 | 5.62
GR38 28 6659 | 672.2 171.9 0.991
G10 300
GR39 500 3 14 756.2 | 760.5 142.7 0.994
GR40 28 117351 11754 | 2884 0.998
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Table 6 Details of CFTFGs with different tube thicknesses

Geometric details
PNA
CFTFG ) M, Mycale | location,
Group Specimen | L | Dwpe | hw a/h., hy Daste | ¥ (kN’an) (kNCn;) vi Mure/Mucale
(mm) | (mm) | (mm) tw (mm) (mm)
GR41 438 14 | 463.2 | 4773 154.2 0.970
GR42 28 691.3 | 707.7 183.5 0.977
GR43 14 540.2 | 544.6 155.9 0.992
Gl11 445 274
GR44 28 754.9 | 760.3 169.2 0.993
GR45 219 14 557.2 | 560.7 157.6 0.994
GR46 267 | 5.60 28 789.9 | 793.7 167.8 0.995
GR47 438 14 538.1 | 552.7 167.8 0.974
GR48 28 754.2 | 769.3 197.5 0.980
GR49 14 599.8 | 603.2 164.2 0.994
G12 26.7| 27.4
GR50 28 824.0 | 828.9 178.0 0.994
GRS51 219 14 634.7 | 638.3 164.3 0.994
GR52 4300 | 219 28 859.8 | 863.4 174.9 0.996
GR53 438 14 786.4 | 800.8 172.7 0.982
GR54 28 | 1058.3 [ 1069.3 | 209.8 0.990
GRS55 14 842.5 | 8459 164.4 0.996
G13 83.3 | 274
GR56 28 [ 1117.1 | 1121.2 ] 179.7 0.996
GR57 219 14 874.3 | 878.7 164.2 0.995
GR58 500 3 28 | 1152.8 [ 1157.3 | 175.6 0.996
GR59 438 14 968.7 | 985.2 201.5 0.983
GR60 28 | 1300.3 [ 1312.6 | 274.1 0.991
Gl4 GR61 50 14 | 1035.3(1039.0| 179.7 0.996
GR62 274 28 | 1377.2 [ 1381.1 | 197.8 0.997
GR63 21.9 14 | 1069.4 (10745 ] 176.2 0.995
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GR64 | | | | | | 28 |14132]1417.7] 1892 0.997
Table 7 Details of STFGs with different tube thicknesses
Geometric details

STEG Specimen L D h h t Muge | Mucac 10§211\‘1iA0n M/
Grou tube W W f kNm) | (kNm > | Mucale
P (mm) | (mm) [ (mm) a/hy Ntw Duupe/t (mm) ( )| ¢ ) yl (mm) <l
GR65 3.8 14 2929 | 306.9 2474 0.954
GR66 ' 28 308.9 322 4224 0.959
GR67 14 391.2 | 400.8 140 0.976

G15 44 .5 27.4
GR68 28 569.0 580.7 260.6 0.980
GR69 1.9 14 435.1 4449 107.6 0.978
GR70 267 560 ' 28 6049 | 613.6 155.3 0.986
GR71 ' 3.8 14 3014 | 310.1 289.4 0.972
GR72 ' 28 314.2 322.9 3944 0.973
GR73 14 431.1 443 .6 192.7 0.972

Gleé 26.7 27.4
GR74 28 557.9 572.1 2974 0.975
GR75 14 480.8 | 488.2 129.1 0.985

4300 219 21.9
GR76 28 643.1 648.9 234.2 0.991
GR77 3.8 14 3349 | 3434 363.7 0.976
GR78 ' 28 396.1 404.9 538.9 0.978
GR79 14 650.8 663.4 202.1 0.981

G17 83.3 27.4
GRS&0 28 905.8 911.1 377.1 0.994
GR&81 14 718.6 | 7269 116.8 0.988

500 3 21.9
GRS&2 28 946.4 | 952.6 2714 0.994
GRS83 3.8 14 360.3 368 4059 0.979
G183 GR84 50 ' 28 428.2 | 436.3 510.7 0.981
GRS85 274 14 722.3 735.6 308.9 0.982
GRS8&6 ' 28 942.7 954.6 413.8 0.988

25



Accepted for publication in the Journal of Constructional Steel Research 2018

14 840.3 | 848.6 245.6 | 0.990

GRS87 ‘ ‘ i ’

21.9
GRS8 ‘

28 11029.911034.8 | 350.7 | 0.995
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Table 8 Influence of f. and fy on the capacity of CFTFG GR13

f fy 2 Mure Mucat IOI;I:tﬁ)H M. re/My Cale
(MPa) (N/mm°) (kNm) (kNm) (mm)

20 287.9 525.5 526.0 168.8 0.999
30 287.9 536.5 539.8 161.2 0.993
38.6 287.9 540.2 544.6 155.9 0.992
40 287.9 545.8 550.9 155.1 0.990
50 287.9 553.1 562.7 150.1 0.983
60 287.9 558.2 569.1 145.9 0.981
70 287.9 561.8 575.6 142.3 0.976
38.6 235 433.7 4427 154.1 0.978
38.6 355 631.4 638.0 157.6 0.988
38.6 460 799.3 803.1 159.7 0.995
38.6 690 1161.1 1162.4 162.4 0.998
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(@) (b) (c)

Fig. 1. Hollow flange girders including (a) triangular hollow flange beam, (b) LiteSteel
beam and (c) rectangular hollow tubular flange plate girder.
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